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Analysis of Plasma-Sprayed Thermal Barrier Coatings
with Homogeneous and Heterogeneous Bond Coats
Under Spatially Uniform Cyclic Thermal Loading

Abstract. This report summarizes the results of a numerical investigation into a major failure
mechanism in plasma-sprayed thermal barrier coatings observed under spatially-uniform cyclic
thermal loading which mimics a furnace durability test. In particular, factors leading to spallation of
the top coat caused by the top/bond coat thermal expansion mismatch concomitant with deposition-
induced interfacial roughness, oxide film growth and creep-induced normal stress reversal at the
rough interface’s crest are analyzed. Further, recent attemps to increase coating durability through
the reduction of the top/bond coat thermal expansion mismatch achieved by embedding alumina
particles in the bond coat are also critically examined. The analysis focuses on the evolution of local
stress and inelastic strain fields in the vicinity of the rough top/bond coat interface during thermal
cycling, and how these fields are influenced by the presence of an oxide film and spatially uniform
and nonuniform (graded) distributions of alumina particles in the metallic bond coat. The impact of
these factors on the potential growth of a local horizontal delamination at the rough interface’s crest,
thought to initiate at this location, is included in the investigation. In particular, the feasibility
of grading the bond coat properties to reduce horizontal delamination driving forces is critically
examined. The analysis is conducted using the Higher-Order Theory for Functionally Graded
Materials which accounts for the high-temperature creep/relaxation effects within the individual
TBC constituents. In the presence of two-phase bond coat microstructures, both the actual and
homogenized bond coat properties are employed in the analysis in order to highlight the limitations
of the prevalent homogenization-based approach applied to graded materials. The results reveal
the important contributions of both the normal and shear stress components to the delamination
growth potential in the presence of an oxide film, and suggest mixed-mode crack propagation
characterized by crack deflections. The use of heterogeneous, two-phase bond coats, with spatially
uniform or graded microstructure, is shown to increase the potential for delamination growth by
increasing the magnitude of the shear stress component ahead of the crack tip.
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1 INTRODUCTION

Thermal barrier coatings (TBCs) are widely employed on nickel-based structural components in the
hot section of aircraft gas turbine engines. They enable the structural component to operate at a
higher gas temperature, thereby increasing engine efficiency, or to operate longer at a given service
temperature, thereby increasing the component durability. Zirconia-based coatings are typically
used due to the low thermal conductivity of zirconia and its chemical stability at elevated tem-
peratures. To prevent oxidation of the structural component, and improve the thermomechanical
compatibility between the coating (top coat or TC) and the substrate, an intermmediate layer of a
nickel-based alloy (bond coat or BC) is first deposited onto the substrate material, followed by the
top coat itself. In oxidizing environments at elevated temperatures, the bond coat alloy composi-
tion produces a thin oxide film (called thermally-grown oxide or TGO) at the top coat/bond coat
interface which acts as a protective oxidation barrier.

There are two competing types of zirconia-based coatings currently in use [1,2]; plasma-sprayed
TBCs and electron-beam physical vapor-deposited (EB PVD) TBCs, Table 1. As their names im-
ply, they are deposited onto the bond coat in two different ways, resulting in different microstruc-
tures and therefore different thermomechanical properties. The plasma-spray deposition process
produces a coating with microstructure characterized by porosities and microcracks, and a rough
top/bond coat interface whose strength is relatively low due to primarily mechanical interlocking
mechanism. The porous microstructure results in low thermal conductivity, inelastic creep-like
behavior suggested to be due to sliding of the rough microcrack interfaces [3], and low out-of-plane
mechanical moduli and strength. A major failure mechanism for plasma-sprayed coatings is the
spallation of the top coat from the bond coat which generally initiates at or just above the top
coat/TGO interface, as discussed in more detail in the following section.

In contrast with the plasma-sprayed TBCs, the microstructure of EB PVD TBCs is columnar
which results in low in-plane mechanical moduli due to the presence of vertical boundaries between
adjacent columns of deposited zirconia, and thus more compliant in-plane response more commen-
surate with the bond coat behavior. The dense columnar microstructure within the individual
columns results in a relatively higher thermal conductivity exhibited by EB PVD coatings. How-
ever, current attempts to decrease the thermal conductivity of EB PVD coatings to the level of
plasma-sprayed coatings using oblique deposition methods are showing promise [4]. The electron
beam vapor deposition process produces a smoother top coat/bond coat interface characterized by
a stronger (chemical rather than mechanical) bond. Top coat spallation in the EB PVD coatings
is typically observed at the bond coat/TGO interface. Despite the fact that these coatings are
more durable than plasma-sprayed coatings, the high cost associated with the electron beam vapor
deposition process limits their use to state-of-the-art airfoil applications.

1.1 Spallation Mechanism in Plasma-Sprayed TBCs

Early experimental investigations into failure mechanisms of plasma-sprayed TBCs conducted by
Miller and Lowell [5] identified delamination at (or just above) the top/bond coat interface as the
primary failure mode, ultimately leading to spallation of the zirconia coating. The failure mech-
anism was hypothesized to involve residual stresses induced into the coating during the cooldown
stage of a thermal cycle due to the thermal expansion mismatch between the top coat and the
bond coat. The failure initiation process was shown to be substantially influenced by the oxide film
formation at the top/bond coat interface during exposure to elevated temperatures and, based on
the observed location of delamination, the interface’s irregularity was hypothesized to play a role.

The influence of rough interface, oxide film, and thermomechanical property mismatch on the
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spallation mechanism has been subsequently studied by a number of investigators (cf. Evans et
al. [6], Chang et al. [7,8], Petrus and Ferguson [9], Freborg et al. [10], Pindera et al. [11], Ali
et al. [12]. These studies demonstrated the evolution of a non-zero stress component normal to
the interface during cyclic thermal loading. Due to stress relaxation during the hold period of a
heatup-hold-cooldown thermal cycle, this stress component becomes tensile at the interface’s crest
upon cooldown, setting up a delamination initiation site at this location. In the trough region,
the normal stress becomes compressive, due also to stress relaxation. The growth of the oxide
film at the top coat/bond coat interface subsequently changes the normal stress sign in the trough
region, facilitating horizontal delamination growth. This model has been proposed by a number of
investigators to explain the initiation and growth of delamination at or just above the top coat/oxide
film interface, which ultimately leads to spallation.

The above investigations also demonstrated that the top/bond coat thermal expansion mismatch
has the greatest effect on the evolution of the normal stress at the rough top/bond coat interface. In
order to reduce this mismatch, and thus increase coating durability, Brindley et al. [13] fabricated
TBCs with heterogeneous bond coats consisting of a uniform dispersion of submicron alumina
particles in the nickel-based alloy bond coats. Durability experiments subsequently demonstrated
consistent doubling of TBC life with just a 5% alumina particle content. Bond coats with up to
20% alumina particle content were also fabricated and tested, but showed substantial variability
in durability due to oxidation problems which currently are being addressed through improved
deposition techniques. It must be noted that attempts to increase TBC durability through the use of
graded top coat microstructures consisting of a dispersion of metallic particles in plasma-sprayed top
coats failed due to oxidation of the metallic phase at elevated temperatures [5]. The problem arises
due to the high diffusivity of oxygen in zirconia. In addition, embedding high-conductivity particles
in a low-conductivity matrix increases the overall coating conductivity, requiring a thicker coating
for the same temperature drop. Therefore, for gas turbine applications in the aerospace environment
this approach to increasing coating durability has been abondoned, as reiterated recently by Lee et
al. [14]. These authors suggest alternate means of grading that circumvent the oxidation problem
while providing stress management capabilities at the interfaces of the TBC constituents. For
example, Zhu et al. [15] demonstrated free-edge interfacial stress reduction due to layer-graded
bond coats in TBCs with flat interfaces.

In this report, we summarize the results of our investigation into the combined effects of oxide
film thickness and heterogeneous bond coat microstructures on the evolution of stress and inelastic
strain fields in plasma-sprayed thermal barrier coatings with rough interfaces subjected to spatially
uniform thermal cyclic loading that simulates furnace durability test. The consideration of hetero-
geneous bond coat microstructures is motivated by the aforementioned results of Brindley et al.
[13]. The objective is to better understand the mechanical factors that affect the proposed spalla-
tion mechanism model described above in this type of coatings and to critically examine potential
solutions leading to enhanced coating durability. In this regard, the investigation considers the
impact of the oxide film thickness and heterogeneous bond coat microstructures not only on the
evolution of the stress component normal to the top/bond coat interface. The remaining stress
components in the plane of the analyzed TBC system described in Section 3 are also considered, as
is the evolution of the inelastic strain field which may provide the means for estimating the evolu-
tion of horizontal delaminations at or just above the crest of the rough interface. The presence of
these delaminations is also taken explicitly into account in order to investigate the effect of grading
the bond coat with alumina particles in the vicinity of the rough interfacial region on the potential
reduction of horizontal delamination driving forces.

As in our previous investigation [11], the analysis of thermally-induced stresses in TBCs with
graded bond coats during a spatially-uniform thermal cycle simulating a furnace heating dura-
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bility test is conducted using the higher-order theory for functionally graded materials [16,17,18].
The analysis, which accounts for the important creep/relaxation effects within the individual TBC
constituents, is conducted in two distinct ways which reflect the present dichatomy in the mod-
eling of functionally graded materials. The coupled approach explicitly accounts for the micro-
macrostructural interaction arising from the heterogeneous bond coat microstructure and is an
intrinsic feature of the higher-order theory. The uncoupled approach, which is the prevailing para-
digm in the mechanics/materials communities, replaces the heterogeneous bond coat microstructure
by fictitious homogenized properties determined locally using a micromechanics model. The feasi-
bility of using graded bond coat microstructures to reduce horizontal delamination driving forces
is critically examined and the limitations of the homogenization-based approach are highlighted.

2 OUTLINE OF THE HIGHER-ORDER THEORY FOR FGMs

The higher-order theory for functionally graded materials is an approximate analytical approach,
demonstrated to be sufficiently accurate in comparison with results obtained from more detailed
finite-element analyses, for modeling stress and deformation fields in spatially nonuniform heteroge-
neous materials with different microstructural details. It circumvents the yet-to-be resolved problem
of local homogenization of the material’s spatially-variable heterogeneous microstructure, based on
the concept of a representative volume element, by explicitly accounting for the microstructural
details and local particle-particle interactions in the course of obtaining approximate analytical
solutions for the local field quantities. This is accomplished by discretizing the volume occupied by
a functionally graded material into subvolumes in a manner that mimics the material’s microstruc-
ture. The analytical solution for the local field quantities is subsequently obtained by satisfying
the field equations, namely the heat conduction equation

∂q1
∂x1

+
∂q2
∂x2

+
∂q3
∂x3

= 0 (1)

and the equilibrium equations

∂σ1j
∂x1

+
∂σ2j
∂x2

+
∂σ3j
∂x3

= 0, (j = 1, 2, 3) (2)

in each subvolume of the discretized microstructure in a volumetric sense, subject to the continuity
of temperatures, heat fluxes, displacements and tractions between the individual subvolumes, and
the external thermomechanical boundary conditions, imposed in a surface-average sense. Assuming
that the material within each subvolume is isotropic, the heat flux components qi in the above
equations are related to the temperature field T through Fourier’s law

qi = −k ∂T
∂xi

(3)

where k is the thermal conductivity, while the stress components σij are related to the total strain
components εij through Hooke’s law

σij = 2µεij + λεkkδij − 2µεinij − σTij (4)

where λ and µ are the Lamé’s constants of the material filling the given subvolume, εinij are the
inelastic strain components based on the chosen inelastic constitutive theory, and σTij are the thermal
stress components consisting of the products of the stiffness tensor elements, thermal expansion
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coefficients and the temperature change. The total strain components in the individual subvolumes
are obtained from the strain-displacement relations

εij =
1

2
(
∂ui
∂xj

+
∂uj
∂xi

) (5)

The solution of eqns (1)-(2) in the manner discussed above is accomplished by approximating
the temperature and displacement fields within each subvolume using a quadratic expansion of the
Legendre type in terms of local coordinates, as discussed in the following section. This is in sharp
contrast with the linear expansion employed in the Generalized Method of Cells (GMC) developed
to model the response of homogenized periodic multiphase materials, in which a similar subvolume
discretization was employed [19]. As demonstrated in our previous investigations (cf. references
[16,17,18]), a higher-order representation of the temperature and displacement fields is necessary
in the present case in order to accurately capture the local effects created by the thermomechanical
field gradients, the material’s microstructure and the finite dimensions in the functionally graded
directions. Hence higher-order is used to describe the present approach in order to differentiate it
from GMC.

The next section briefly outlines the manner of volume discretization of a heterogeneous mate-
rial’s microstructure employed in the higher-order theory for FGMs. This discretization provides
the basis for the approximate analytical solution of the governing field equations (1)-(2), which is
described in the subsequent sections. The description of the solution methodology is sufficiently
concise to facilitate the interpretation of the presented results, but avoids the lengthy derivations
of the equations that provide solutions for the local field variables within the subvolumes of the
discretized microstructure described in detail in references [16,17,18].

2.1 Volume Discretization

The version of the higher-order theory employed in the present investigation is based on a geometric
model of a heterogeneous composite that occupies the region bounded by |x1| <∞, 0 ≤ x2 ≤ H, and
0 ≤ x3 ≤ L, Fig. 1. The loading applied to the composite may involve an arbitrary temperature or
heat flux distribution and mechanical effects represented by a combination of surface displacements
and/or tractions in the x2−x3 plane, and a uniform strain in the x1 direction. The composite may be
reinforced by an arbitrary distribution of continuous fibers or finite-length inclusions in the x2−x3
plane, continuously or periodically arranged in the direction of the x1 axis. The microstructure
of the heterogeneous composite in the x2 − x3 plane is modeled by discretizing the heterogeneous
composite’s cross section into Nq and Nr generic cells in the intervals 0 ≤ x2 ≤ H, 0 ≤ x3 ≤ L,
respectively. The indices q and r, whose ranges are q = 1, 2, ..., Nq and r = 1, 2, ..., Nr, identify
the generic cell in the x2 − x3 plane. The generic cell (q, r) consists of eight subcells designated by
the triplet (αβγ), where each index α, β, γ takes on the values 1 or 2 which indicate the relative
position of the given subcell along the x1, x2 and x3 axis, respectively. The dimensions of the
generic cell along the periodic x1 direction, d1 and d2 are fixed, whereas the dimensions along the
functionally graded directions x2 and x3, h

(q)
1 , h

(q)
2 , and l

(r)
1 , l

(r)
2 , can vary arbitrarily such that

H =

NqX
q=1

(h
(q)
1 + h

(q)
2 ) L =

NrX
r=1

(l
(r)
1 + l

(r)
2 ) (6)

Given the applied thermomechanical loading, an approximate solution for the temperature and
displacement fields within each (αβγ) subcell, referred to the local coordinate system x̄

(α)
1 − x̄(β)2 −

x̄
(γ)
3 placed at the subcell’s centroid, is constructed in two steps as described next.
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2.2 Thermal Analysis

Let the functionally graded cross section shown in Fig. 1 be subjected to steady-state temperature
or heat flux distributions on its bounding surfaces in the x2−x3 plane. Under these circumstances,
the heat flux field in the material occupying the subcell (αβγ) of the (q, r)th generic cell, in the
region

¯̄̄
x̄
(α)
1

¯̄̄
≤ 1

2dα,
¯̄̄
x̄
(β)
2

¯̄̄
≤ 1

2h
(q)
β ,

¯̄̄
x̄
(γ)
3

¯̄̄
≤ 1

2 l
(r)
γ , must satisfy the heat conduction equation, eqn

(1), expressed in the local subcell coordinate system,

∂q
(αβγ)
1

∂x̄
(α)
1

+
∂q
(αβγ)
2

∂x̄
(β)
2

+
∂q
(αβγ)
3

∂x̄
(γ)
3

= 0, (α,β, γ = 1, 2) (7)

The subcell heat flux components q(αβγ)i are obtained from the temperature field using the local
version of eqn (3),

q
(αβγ)
i = −k(αβγ)∂T

(αβγ)

∂x̄
(·)
i

(8)

where k(αβγ) are the coefficients of heat conductivity of the material in the subcell (αβγ), and no
summation is implied by repeated Greek letters in the above and henceforth.

The temperature distribution in the subcell (αβγ) of the (q, r)th generic cell, measured with re-
spect to a reference temperature Tref , is denoted by T (αβγ). This temperature field is approximated

by a second-order expansion in the local coordinates x̄(α)1 , x̄
(β)
2 , x̄

(γ)
3 as follows:

T (αβγ) = T
(αβγ)
(000) + x̄

(β)
2 T

(αβγ)
(010) + x̄

(γ)
3 T

(αβγ)
(001) +

1

2
(3x̄

(α)2
1 − d

2
α

4
)T

(αβγ)
(200) +

1

2
(3x̄

(β)2
2 − h

(q)2
β

4
)T

(αβγ)
(020) +

1

2
(3x̄

(γ)2
3 − l

(r)2
γ

4
)T

(αβγ)
(002) (9)

where the unknown volume-averaged temperature T (αβγ)(000) , and the higher-order coefficients T
(αβγ)
(lmn)

(l,m, n = 0, 1, or 2 with l +m+ n ≤ 2), are determined in the manner described below.
Given the six unknown quantities associated with each subcell (i.e., T (αβγ)(000) , ..., T

(αβγ)
(002) ) and eight

subcells within each generic cell, 48NqNr unknown quantities must be determined for a composite
with Nq, and Nr rows and columns of cells containing arbitrarily specified materials. These quan-
tities are determined by first satisfying the local heat conduction equation (7) in each subcell in a
volumetric sense in view of the employed temperature field approximation. Subsequently, continu-
ity of heat flux and temperature is imposed in a surface-average sense at the interfaces separating
adjacent subcells, as well as neighboring cells. Fulfillment of these field equations and continuity
conditions, together with the imposed thermal boundary conditions on the bounding surfaces of the
composite, provides the necessary 48NqNr equations for the 48NqNr unknown coefficients T

(αβγ)
(lmn)

in the temperature field expansion in each (αβγ) subcell. The final form of this system of equations
can be symbolically written as

κT = t (10)

where the structural thermal conductivity matrix κ contains information on the geometry and
thermal conductivities of the individual subcells (αβγ) in the NqNr cells spanning the x2 and x3
directions, the thermal coefficient vector T contains the unknown coefficients that describe the
temperature field in each subcell, i.e.,

T = [T
(111)
11 , ...,T

(222)
NqNr

]
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where
T(αβγ)qr = [T(000), T(010), T(001), T(200), T(020), T(002)]

(αβγ)
qr

and the thermal force vector t contains information on the thermal boundary conditions.

2.3 Mechanical Analysis

Given the temperature field generated by the applied surface temperatures and/or heat fluxes
obtained in the preceding section, the resulting displacement and stress fields are then determined.
This is carried out for arbitrary mechanical loading, consistent with global equilibrium requirements,
applied to the surfaces of the composite.

The stress field in the subcell (αβγ) of the (q, r)th generic cell generated by the given tem-
perature field must satisfy the equilibrium equations, eqn (2), expressed in the local coordinate
system

∂σ
(αβγ)
1j

∂x̄
(α)
1

+
∂σ

(αβγ)
2j

∂x̄
(β)
2

+
∂σ

(αβγ)
3j

∂x̄
(γ)
3

= 0, (j = 1, 2, 3) (11)

The subcell stress components σ(αβγ)ij are obtained from the local version of eqn (4)

σ
(αβγ)
ij = 2µ(αβγ)ε

(αβγ)
ij + λ(αβγ)ε

(αβγ)
kk δij − 2µ(αβγ)εin(αβγ)ij − σ

T (αβγ)
ij (12)

where λ(αβγ) and µ(αβγ) are the Lamé’s constants of the material filling the given subcell (αβγ),
ε
in(αβγ)
ij are the inelastic strain components, and σ

T (αβγ)
ij is the thermal stress consisting of the

products of the stiffness tensor components, thermal expansion coefficients and the temperature
change. The subcell strain components are then obtained from the strain-displacement relations
(5) expressed in the local coordinate system.

The displacement field in the subcell (αβγ) of the (q, r)th generic cell is approximated by a
second-order expansion in the local coordinates x̄(α)1 , x̄

(β)
2 , and x̄(γ)3 as follows:

u
(αβγ)
1 = x̄

(α)
1 W

(αβγ)
1(100) (13)

u
(αβγ)
2 = W

(αβγ)
2(000) + x̄

(β)
2 W

(αβγ)
2(010) + x̄

(γ)
3 W

(αβγ)
2(001) +

1

2
(3x̄

(α)2
1 − d

2
α

4
)W

(αβγ)
2(200) +

1

2
(3x̄

(β)2
2 − h

(q)2
β

4
)W

(αβγ)
2(020) +

1

2
(3x̄

(γ)2
3 − l

(r)2
γ

4
)W

(αβγ)
2(002) (14)

u
(αβγ)
3 = W

(αβγ)
3(000) + x̄

(β)
2 W

(αβγ)
3(010) + x̄

(γ)
3 W

(αβγ)
3(001) +

1

2
(3x̄

(α)2
1 − d

2
α

4
)W

(αβγ)
3(200) +

1

2
(3x̄

(β)2
2 − h

(q)2
β

4
)W

(αβγ)
3(020) +

1

2
(3x̄

(γ)2
3 − l

(r)2
γ

4
)W

(αβγ)
3(002) (15)

where W (αβγ)
i(000) , which are the volume-averaged displacements, and the higher-order terms W

(αβγ)
i(lmn)

(i = 1, 2, 3) must be determined from conditions similar to those employed in the thermal problem.
In this case, there are 104 unknown coefficients W (αβγ)

i(lmn) in a generic cell (q, r), accounting for
the periodicity in the x1 direction using a homogenization procedure (cf. Aboudi et al. [18]).
The determination of these coefficients parallels that of the thermal problem. Here, the heat
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conduction equation is replaced by the equilibrium equations (11), and the continuity of tractions
and displacements at the various interfaces replaces the continuity of heat fluxes and temperature.
Finally, the boundary conditions involve the appropriate mechanical quantities.

Application of the above equations and conditions in a volumetric and a surface-average sense,
respectively, produces a system of 104NqNr algebraic equations in the unknown coefficientsW

(αβγ)
i(lmn).

The final form of this system of equations is symbolically represented by

KU = f + g (16)

where the structural stiffness matrixK contains information on the geometry and thermomechanical
properties of the individual subcells (αβγ) within the cells comprising the functionally graded
composite, the displacement coefficient vector U contains the unknown coefficients that describe
the displacement field in each subcell, i.e.,

U = [U
(111)
11 , ...,U

(222)
NqNr

]

where
U(αβγ)
qr = [W1(100), ...,W3(002)]

(αβγ)
qr

and the thermomechanical force vector f contains information on the mechanical boundary con-
ditions and the thermal loading effects generated by the applied temperature. In addition, the
inelastic force vector g appearing on the right hand side of eqn (16) contains inelastic effects given
in terms of the integrals of the inelastic strain distributions that are represented by the coefficients
R
(αβγ)
ij(lm,n) defined below

R
(αβγ)
ij(l,m,n) = µ

(αβγ)Λ(lmn)

Z +1

−1

Z +1

−1

Z +1

−1
ε
in(αβγ)
ij Pl(ζ

(α)
1 )Pm(ζ

(β)
2 )Pn(ζ

(γ)
3 ) dζ

(α)
1 dζ

(β)
2 dζ

(γ)
3 (17)

where
Λ(lmn) =

1

4

q
(1 + 2l)(1 + 2m)(1 + 2n)

and the Legandre polynomials P·(ζ
(·)
i ) are functions of the non-dimensionalized variables ζ

(·)
i ’s,

defined in the interval −1 ≤ ζ
(·)
i ≤ +1, which are given in terms of the local subcell coordinates as

follows: ζ(α)1 = x̄
(α)
1 /(dα/2), ζ

(β)
2 = x̄

(β)
2 /(h

(q)
β /2), and ζ

(γ)
3 = x̄

(γ)
3 /(l

(r)
γ /2). These integrals depend

implicitly on the elements of the displacement coefficient vectorU, requiring an incremental solution
of eqn (16) at each point along the loading path.

Similarities and differences between the higher-order theory and standard displacement-based
finite-element formulations have been described elsewhere [20]. An important advantage of the
present approach is the simultaneous satisfaction of displacement and traction continuity condi-
tions between the different subvolumes of the spatially variable microstructure. This facilitates
the determination of thermally-induced stresses across the top/bond coat interface in the present
application which cannot be easily captured due to very localized and very steep gradients in the
thickness direction.

3 PROBLEM DEFINITION

3.1 TBC System Geometry

We consider a flat TBC system shown in Fig. 2 that remains in a generalized plane strain state
under the imposed spatially uniform thermal loading which simulates furnace thermal cycling used
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for durability testing, Fig. 3. The rough interface between the top and bond coats is modeled
by a periodically-varying sine form located at the mean elevation of 630 µm from the substrate’s
bottom, with the wavelength of 25 µm and total (crest-to-trough) amplitude of 10 µm. These are
representative values employed by previous investogators in modeling surface roughness of plasma-
sprayed coatings (cf. Freborg et al. [10]). An oxide film with three different thicknesses (1, 2
and 3 µm) is introduced into the bond coat at the top/bond coat interface to simulate progressive
bond coat oxidation. In the present analysis, the actual oxide film growth (and the accompanying
stress) is not modeled as it occurs primarily at the elevated temperature during the hold portion of
the heating cycle where relaxation rates, which control the oxide growth-induced stress, are much
greater than the film growth itself, as will be demonstrated in Section 4.

Due to the periodic nature of the modeled TBC’s geometry, the analysis of thermally-induced
stress and inelastic strain fields is performed on the repeating cross-section element bounded by
two vertical planes passing through the crest and trough of the sinusoidally-varying interface.
Symmetry boundary conditions on the deformation of these planes are imposed consistent with the
modeled geometry and the generalized plane strain state (namely, σ̄11 = σ̄33 = 0, where the bars
denote average values of the normal stresses in the x2 − x3 and x1 − x2 planes). The repeating
cross-section element of the TBC system is discretized into generic cells and subcells in order to
approximate the geometry of the sinusiodally-varying interface with sufficient accuracy. Figure 4
illustrates the employed volume discretization in the region containing the wavy interface for the
investigated TBCs in the absence of horizontal delamination above the interface’s crest. The stress
and inelastic strain fields will be presented in this region in the Results section. The discretized
regions of the pure TBC systems (consisting of the top coat, bond coat and substrate only) with
different oxide film thicknesses, and heterogeneous bond coat TBC systems containing uniform
dispersions of aluminum oxide inclusions with 20% and 40% content in the vicinity of the top/bond
coat interface within the bond coat, are shown in Fig. 4(a). The TBC systems with the actual
and homogenized graded bond coat microstructures are shown in Fig. 4(b). The alumina particle
in-plane dimensions are typically 0.5×0.5 µm. The grading is accomplished by gradually decreasing
the alumina particle content from 40% at the wavy interface’s crest to 0% below the trough. The
homogenized microstructure of the graded bond coat consists of eight layers, with progressively
decreasing uniform alumina particle content in increments of 5%, whose average or macroscopic
properties have been calculated using the Generalized Method of Cells, as discussed in the following
section.

In addition, several configurations are analyzed in the presence of a horizontal crack of total
length 4.25 µm introduced at a distance of 0.5 µm above the interface’s crest within the top coat,
with traction-free boundary conditions imposed on the subcell faces separated by the crack. Such
crack may arise upon cooldown due to the high normal stress in the crest region relative to the low
transverse strength of the plasma-sprayed top coat. In order to capture the large stress gradients in
the vicinity of the crack tip, the mesh in this region for the affected TBC configurations was further
refined as shown in Fig. 5 for the pure TBC, showing the region in which the stress and inelastic
strain fields will be presented in the Results section in the presence of the horizontal delamination.
The same mesh refinement was employed for the graded bond coat TBCs, with and without an
oxide film, containing horizontal delaminations (not included in the figure).

We note that the higher-order theory cannot capture the singular behavior at the crack tip as
it is an approximate analysis based on volume-averaging of the field equations within discretized
subvolumes of the material. Therefore, the present approach cannot be used to calculate the critical
stress intensity factors and energy release rates which are employed in classical fracture mechanics
analyses to predict crack initiation and propagation. However, we point out that these fracture
mechanics parameters are yet to be determined for plasma-sprayed zirconia coatings. Further, it is
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not clear that the classical fracture mechanics approach can be used to predict crack growth given
the porous and pancake-like microstructure of the top coat. On the other hand, by discretizing
the region in the vicinity of the crack tip sufficiently well, the higher-order theory is capable of
capturing the high stress gradients, as well as high magnitudes of the stress field, with sufficient
accuracy. This has been demonstrated previously in the context of the free-edge problem in the
case of a laminated composite plate [16,17]. Our objective is to investigate the relative effect of
grading on the stress gradients and stress magnitudes in the presence of a horizontal crack in order
to determine the feasibility of using this approach to reduce the crack driving forces leading to top
coat delamination and ultimately spallation.

3.2 Constituents’ Material Response

The material thermoelastic and viscoplastic parameters that govern the response of the individual
TBC constituents are given in Tables 2-5. These are the same as the parameters used in our
previous investigation dealing with the effects of interfacial roughness and oxide film thickness on
the inelastic response of TBCs with homogeneous bond coats [11], and are based on the properties
employed by Freborg et al. [10]. The viscoplastic response of the zirconia top coat, NiCr-based bond
coat, and Ni-based substrate is modeled by a power-law creep equation, generalized to multi-axial
loading situations as follows,

ε̇cij =
3F (σe, T )

2σe
σ0ij (18)

where σ0ij are the components of the stress deviator, σe =
q
3/2σ0ijσ0ij , and

F (σe, T ) = A(T )σ
n(T )
e (19)

where the temperature-dependent parameters A, n are listed in the tables in the range 10− 1200◦
C.

The alumina particles and TGO film are assumed to be elastic since their creep response is small
for the employed thermal loading compared with the other materials. Further, the pronounced
inelastic response of plasma-sprayed zirconia compared to fully densified zirconia is due to the local
deformation mechanisms activated by porosities and microcracks introduced during the plasma-
sprayed process, not modeled in this investigation, as discussed by DiMassi-Marcin et al. [3]. The
power-law creep model for the inelastic response of zirconia has been shown to model the overall
effect of these mechanisms with sufficient accuracy.

The Generalized Method of Cells micromechanics model was employed to calculate the macro-
scopic thermoelastic and creep parammeters of the homogenized NiCrAlY+Al2O3 layers. The
homogenized Young’s moduli, Poisson’s ratios, and thermal expansion coefficients as a function of
the alumina inclusion content at different temperatures are given in Tables 6-8, respectively. Figure
6 illustrates graphically the reduction of the top/bond coat thermal expansion coefficient mismatch
as a function of temperature for different alumina particle content in the homogenized bond coat
layers. This mismatch is typically thought to be important in controling the evolution of residual
stresses in TBCs.

In order to determine the macroscopic creep response of the homogenized layers, creep ex-
periments were simulated for different volume fractions of the Al2O3 inclusions in the NiCrAlY
matrix at different temperatures using the Generalized Method of Cells. This was accomplished
by imposing a very rapid rate of uniaxial loading up to a pre-determined load level, applied to
the representative volume element for the particular NiCrAlY+Al2O3 microstructure, and then
holding that load level constant for a fixed period of time. The resulting macroscopic strain was
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then monitored as a function of time to determine the functional form of the macroscopic creep
model. These numerical simulations, or experiments, revealed that the creep response for the ho-
mogenized layers exhibits very little primary creep, with the strain rate of the homogenized layers
quickly becoming constant over the period of numerical simulations which was chosen to be on the
order of the employed thermal loading history shown in Fig. 3. That is, the functional form of the
multi-axial creep model for the homogenized layers remains the same as that of the NiCrAlY matrix
given by Eqs. (18) and (19), with the creep parameters A and n modified by the Al2O3 inclusion
presence. These parameters depend on the alumina particle content at different temperatures and
are given in Tables 9 and 10. Examination of these tables reveals that of the two creep parameters
in the power-law creep model for the homogenized NiCrAlY+Al2O3 layers, the power-law creep
coefficient is the parameter most affected by the Al2O3 inclusion presence, with the power-law creep
exponent generally unaffected by the microstructural effects for this particular material system in
the given Al2O3 volume fraction range.

The above numerical results which indicate that the functional form of the power-law creep
response at the constituent level retains the same form at the homogenized composite level, although
somewhat surprising, is not new. This finding for our material system is consistent with the results
reported by Crossman et al. [21] and Crossman and Karlak [22] in the context of the creep response
of metal matrix composites.

4 RESULTS

In this report, we focus on the three stress components in the vicinity of the wavy interface in
the x2 − x3 plane, namely the two normal stresses σ22 and σ33 and the shear stress σ23. The
influence of the normal stress σ22 on top coat delamination leading to spallation has been extensively
investigated for pure TBCs with evolving oxide film (albeit without explicitly incorporating the
crack’s presence). The role that the inplane shear stress plays in the delamination process, on the
other hand, has not been extensively discussed. The regions of interest are the top coat just above
the wavy interface where the spallation process is generally assumed to initiate, as well as the oxide
film where all the stress components may play a significant role in the oxide film’s degradation.

In addition, two measures of inelastic strain accumulation during thermal cycling are also in-
cluded in the results as they may provide important information useful in fatigue life calculations.
The integrated effective inelastic strain measure is defined in the standard way as

εinteff =

Z
dεceff (20)

where dεceff =
q
2/3dεcijdε

c
ij . It is always positive and cannot decrease. In the presence of cyclic

loading where inelastic strain reversal occurs, this measure gives us the total inelastic strain that
a material experiences at a given point. It will increase monotonically during the evolution of
inelastic strain even when inelastic strain reversal occurs due to the way it has been defined,
tending asymptotically to a certain limit in those situations when the evolution of inelastic strains
tends to zero. In order to ascertain the possibility of inelastic strain reversal, the residual inelastic
effective strain measure is defined in terms of the total creep strain components εcij

εreseff =
q
2/3[(εc11)

2 + (εc22)
2 + (εc22)

2 + 2(εc23)
2 + 2(εc12)

2 + 2(εc13)
2 (21)

This measure gives us the instantaneous value of the effective inelastic strain, and upon comparison
with the integrated measure, provides information on the inelastic strain reversal. Clearly, the two
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measures will produce the same value when the inelastic strain components increase or decrease
monotonically and proportionally. During non-proportional and non-monotonic inelastic strain
evolution, the two values generally will be different. In particular, when inelastic strain reversal
occurs during cyclic loading, εinteff will be greater than ε

res
eff , with the difference providing a measure

of inelastic strain reversal.

4.1 Baseline Results for a Homogeneous TBC without an Oxide Film

As the first step, we establish the baseline results for the response of a pure TBC system without
an oxide film subjected to the thermal cycle illustrated in Fig. 3 applied successively three times.
Figure 7 illustrates the evolution of the three stress components, Fig. 7(a,b,c), and two measures of
the effective plastic strain, Fig. 7(d,e), during the first cycle at t = 30s, 360s, and 630s, and at the
corresponding times during the third cycle, namely at t = 1290s, 1620s, and 1890s. These times
correspond to points along the thermal history during the initial heating period, end of the hold
period, and end of the entire cycle. During the first cycle, the normal stress σ22 attains maximum
and minimum values at the crest and trough of the wavy interface at these times.

The normal stress σ22 distributions in the vicinity of the wavy interface (in the same region as
shown in Fig. 4) at the six times are shown in Fig. 7(a). During the initial heating period in the
first cycle, the normal stress σ22 is compressive in the crest region and tensile in the trough region.
This stress component relaxes to nearly zero during the hold period of the thermal cycle, thereby
becoming tensile in the crest region and compressive in the trough region upon cooldown. This is
consistent with the previously reported results discussed earlier. During subsequent cycles, the σ22
distribution decreases upon heatup, relaxes to nearly zero during the hold period, and returns to
essentially the same state upon cooldown as at the end of the first cycle. The maximum magnitudes
occur in the crest and trough regions.

Similar relaxation effects are observed in the distributions of the remaining two stress compo-
nents. In the case of the normal stress σ33, Fig. 7(b), the tensile distribution in the entire wavy
interface region during the heatup portion of the first cycle relaxes to nearly zero during the hold
period and becomes compressive upon cooldown. During subsequent cycles, the stress distribution
decreases in magnitude during the heating portion, remains small during the hold period, and upon
cooling returns to its previous state achieved at the end of the first cycle as observed in the bottom
portion of Fig. 7(b) at the end of the third cycle. The maximum magnitudes of the normal stress
σ33 in the vicinity of the wavy interface occur within the bond coat in the trough region.

In the case of the shear stress σ23, Fig. 7(c), the stress distributions are characterized by a sign
change across the wavy interface and the maximum stress magnitudes occur somewhat off the crest
and trough locations. During the initial heatup period in the first cycle, the shear stress changes
from positive to negative as the interface is traversed from the bond coat to the top coat regions
almost along the entire interface. Stress relaxation during the hold period produces a reversal in
the shear stress sign along the entire interface upon cooldown. As in the case of the two normal
stresses, during subsequent cycles the shear stress decreases during the heatup stage and returns
to the state attained after completion of the first cycle upon cooldown.

The two measures of the effective inelastic strain distributions are shown in Figs. 7(d) and
7(e). In the case of the integrated strain measure, Fig. 7(d), we observe continuous inelastic
strain growth which initiates at the wavy interface’s crest and eventually spreads to the bond coat
during subsequent cycles, with the maximum magnitudes occuring along the wavy interface on the
bond coat side. The distributions of the residual effective inelastic strain, Fig. 7(e), indicate that
substantial plastic strain accumulation occurs during the hold period of the first cycle and actually
decreases upon cooldown, with the maximum magnitude of this strain measure occuring at the
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wavy interface’s crest. During subsequent cycles, this strain increases during the hold period and
subsequently decreases upon cooldown. An increase in the strain magnitude is observed at the wavy
interface’s crest at the end of the third cycle relative to the first cycle. These results indicate that
inelastic strain reversal occurs during thermal cycling which could potentially produce fatigue-like
failures in the top and bond coats.

4.2 Effect of Oxide Film Thickness in a Homogeneous TBC

The presence of the oxide film substantially modifies the stress and inelastic strain distributions
throughout the thermal loading history. One common feature with the baseline results, however,
is the near stabilization of the stress field at the end of each thermal cycle. In view of this, only
the results at the end of the third cycle will be presented.

Figure 8(a) compares the normal σ22 stress distributions in the vicinity of the wavy interfacial
region that arise in TBCs with an oxide film of increasing thickness (1, 2, and 3 µm) at t = 1890s.
In the top portion of this figure, the colorbar scale has been adjusted to shown the effect of the
oxide film thickness on the stress field in the top coat region in the vicinity of the wavy interface.
As observed, the normal stress σ22 at the crest decreases with increasing film thickness. This
is accompanied by the spread of the tensile value of this stress component into the trough region.
Concurrently, the normal stress in the bond coat in the crest region becomes more tensile, and more
compressive in the trough region. In the oxide film itself, the normal stress becomes initially more
compressive away from the crest with increasing film thickness, attaining very large magnitudes.
The largest compressive stress occurs in the 2 µm oxide film. This is illustrated more clearly in the
bottom portion of Fig. 8(a) where the colorbar scale has been adjusted accordingly.

The normal σ33 stress distributions for different oxide film thicknesses are presented in Fig. 8(b).
In this case, increasing the film thickness has a relatively small effect in the top coat. Specifically,
the magnitude of the compressive normal stress increases in the top coat region above the trough,
and decreases at the crest to the point where σ33 becomes slightly tensile as the film thickness
increases. The greatest effect, however, occurs in the bond coat and the oxide film itself. In
particular, σ33 becomes tensile in the bond coat at the crest and trough of the oxide film/bond coat
interface, and more compressive away from these locations due to the oxide film presence and the
required traction continuity in the x3 direction. The large compressive normal stress that arises
within the oxide film in the trough region decreases somewhat with increasing film thickness, as
illustrated more clearly in the bottom portion of Fig. 8(b).

The presence of the oxide film changes the sign of the shear stress in the top coat just to the
right of the wavy interface’s crest at the end of the cycle from positive to negative, upon comparison
of Fig. 8(c) with the results presented in Fig. 7(c). The magnitude of this negative shear stress
increases with increasing oxide film thickness, as does its penetration into the region above the
trough. Similarly, the magnitude of the negative shear stress in the bond coat in the region to the
left of the interface’s trough increases with increasing film thickness. In the oxide film itself, large
positive shear stress is present resulting in large shear stress gradient across the interfaces on either
face of the film.

The presence of the oxide film changes the locations where the integrated effective inelastic
strain tends to concentrate, Fig. 8(d). Specifically, the growth of this inelastic strain measure is
suppressed at the crest location in the immediate vicinity of the top coat/oxide film and oxide
film/bond coat interface, but enhanced deeper within the bond coat itself. The growth of this
inelastic strain is also enhanced in the top coat in the region above the trough. The magnitude
of the integrated inelastic effective strain and its spread in these regions increases with increasing
oxide film thickness. Similar behavior is observed in the case of the residual effective inelastic strain
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measure, with one important exception. In this case, the residual inelastic strain is substantially
more pronounced in the top coat than the bond coat, Fig. 8(e). The location where it is maximum
changes from just to the right of the crest for the thinnest oxide film to the location along the
oxide film/top coat interface halfway between the crest and trough. The crest and trough regions
above and below the oxide film are sheltered from residual strain accumulation, as suggested by
the results presented in Fig. 8(d).

4.3 Effect of Spatially Uniform Bond Coat Microstructure

The experimental results of Brindley et al. [13] suggest that the reduction of the top/bond coat
thermal expansion mismatch may potentially improve the TBC durability. In this section, we ex-
amine the effect of a uniform dispersion of alumina inclusions in the vicinity of the wavy interface
on the three stress components in the x2−x3 plane and the two effective inelastic strain measures.
Figure 6 indicates that a relatively large alumina inclusion content is required to attain an appre-
ciable reduction in the thermal expansion mismatch, which is substantially greater than the 5%
and even 20% alumina particle content employed by Brindley and co-workers. This suggests that
another mechanism may have been operative that improved the durability of TBCs investigated by
these authors. Nevertheless, we employ 20% and 40% volume fractions of the alumina particles in
the NiCrAlY matrix in the interfacial region to investigate the thus-far unquantified effect of the
thermal expansion mismatch reduction on the evolution of stress and inelastic strain fields in the
considered model TBC system.

In view of the preceding results which demonstrated stress field’s stabilization after cooldown
with subsequent cycles, the results are presented at t = 630s, or at the end of the first cycle.
The field quantities were generated in two distinct ways that reflect the present dichotomy of
modeling microstructural effects in heterogeneous materials. First, the bond coat microstructure
was homogenized in the manner described earlier, and the homogenized effective properties were
employed in the analysis. Subsequently, the analysis was repeated with the actual bond coat
microstructure explicitly taken into account.

Figure 9(a) compares the effect of the alumina inclusion content on the normal σ22 stress
distributions. The stress distributions in a TBC with homogeneous bond coat are included for
comparison. The results indicate that when the actual bond coat microstructure is homogenized
(top portion of Fig. 9(a)), reduction in the normal stress at the crest of the wavy interface is
achieved which increases with increasing alumina inclusion content. At 40% of the alumina volume
content, the reduction in the normal stress at the wavy interface’s crest is substantial. This,
however, is obtained at the expense of an increase in the magnitude of the compressive normal
stress at the interface’s trough, as well as increased magnitude of the normal stress in the bond
coat below the wavy interface’s crest. Alternatively, when the analysis is based on the actual bond
coat microstructure, the extent of the normal stress reduction at the wavy interface’s crest is not
as substantial (bottom portion of Fig. 9(a)).

Figure 9(b) illustrates that the normal stress σ33 is affected to a relatively small extent by
the heterogeneous bond coat microstructure in the top coat in the vicinity of the wavy interface.
Specifically, some reduction in this normal stress component is observed in the crest region, which
becomes less compressive with increasing alumina volume content. In the top coat’s trough region
the normal stress σ33 becomes more compressive with increasing alumina content. The greatest
effect is observed in the bond coat itself, in particular just below the trough, where the normal
stress becomes more compressive as the alumina content increases. The analysis based on the
actual bond coat microstructure indicates that the normal stress in the pure matrix of the bond
coat directly at the crest of the top/bond coat interface actually becomes tensile in the presence
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of alumina inclusions (whose magnitude increases with increasing alumina content), which is not
captured by the homogenized bond coat microstructure analysis.

Figure 9(c) illustrates that the effect of alumina content on the shear stress distribution is in
principle similar to what was observed in the case of the normal stress σ22. That is, increasing
the alumina content decreases the shear stress in the top coat’s crest region and increases it in
the bond coat’s trough region. However, the significant difference in this case is the change of the
shear stress sign in the crest region with increasing alumina content. This results in an increase
of the shear stress magnitude with increasing alumina content. In the trough region, the sign of
the shear stress is not affected. The analysis based on the homogenized bond coat properties tends
to underestimate the increase in the shear stress magnitude on the top coat side of the interface
relative to the analysis based on the actual bond coat microstructure. However, the extent of the
spread of the shear stress into the trough region is overestimated.

The effect of the bond coat microstructure on the integrated effective inelastic strain is demon-
strated in Fig. 9(d). The homogenized analysis predicts an initial decrease in this inelastic strain
measure on the top coat side of the wavy interface’s crest relative to the homogeneous bond coat
results, which subsequently increases with increasing alumina content. However, continuous in-
crease is observed in the trough region of the top coat. In the bond coat itself, the growth of the
integrated effective inelastic strain is suppressed directly below the crest of the wavy interface and
shifts further down into the bond coat region with increasing alumina content. The analysis based
on the actual bond coat microstructure indicates that the magnitude of the integrated effective
inelastic strain is substantially underpredicted and overpredicted by the homogenized analysis in
the crest and trough regions of the top coat, respectively. Further, channeling effects are observed
in the bond coat itself, where distinct paths of intensive inelastic strain localization are observed.
Similar effects are observed in the case of the residual effective inelastic strain distributions, Fig.
(9e), with the differences between the two types of analysis somewhat magnified in the crest and
trough regions of the top coat.

4.4 Combined Effects of Graded Bond Coat Microstructure and Oxide Film
Thickness

The results of the preceding section indicate that the potentially beneficial effect of spatially uniform
heterogeneous bond coat microstructure on the normal σ22 stress distribution in the top coat at
the wavy interface’s crest is offset by increased magnitude of this stress component in the trough
region. This suggests that the normal stress σ22 at both locations can be managed by grading the
bond coat microstructure from a high content in the crest region to a low content in the trough
region. The effect of such grading strategy on all the stress and effective inelastic strain components
is discussed in this section as a function of the oxide film thickness.

Figure 10(a) presents the combined effect of grading and oxide film thickness on the normal
σ22 stress distributions at the end of the first thermal cycle. In the absence of the oxide film, it is
observed that the normal stress σ22 at the crest of the wavy interface is very nearly the same as
for the spatially uniform bond coat microstructures discussed earlier, while the magnitude of this
stress component in the trough region is reduced. The presence of the oxide film further reduces
the normal stress σ22 at the crest location, while enhancing it at the trough. These effects increase
with increasing oxide film thickness as suggested by the results of Section 4.2. As in the previous
cases, the analysis based on the homogenized bond coat microstructure overestimates the normal
stress reduction at the wavy interface’s crest and the oxide film-driven spread of the tensile zone
into the trough region, relative to the analysis based on the actual bond coat microstructure. The
differences in the normal stress distributions in the top coat obtained from these two types of
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analyses decrease with increasing oxide film thickness. This suggests that the oxide film thickness
effects dominate beyond a certain critical thickness.

The normal σ33 stress distributions shown in Fig. 10(b) indicate that the effect of the oxide
film thickness is rather small in the top coat. Some reduction of this normal stress component
occurs at the crest with increasing oxide thickness as previously observed in the Section 4.2 results.
Comparing the results of Section 4.2 with the present ones indicates that the effect of the hetero-
geneous bond coat microstructure in the crest region is of secondary importance. Grading reduces
the magnitude of the compressive stress σ33 in the lower region of the bond coat, including the
trough, and the presence of the oxide film further reduces it in the trough region. The analysis
based on the heterogeneous bond coat microstructure indicates that small matrix islands of the
bond coat adjacent to the alumina particles directly below the wavy interface’s crest experience
tensile normal stress due to the thermal expansion mismatch. This is not captured by the analysis
based on the homogenized bond coat properties, and has been observed previously.

While grading does reduce the magnitude of the shear stress σ23 in the bond coat’s trough
region, relative to the spatially uniform bond coat microstructure result, without affecting the
shear stress in the top coat’s crest region, this effect is overshadowed by the presence of the oxide
film, Fig. 10(c). As suggested by the results of Section 4.2, increasing the film thickness increases
the magnitude of σ23 in the crest region of the top coat, and accelerates its spread into the region
above the trough. This is accompanied by increased magnitudes of the compressive shear stress in
the trough region of the bond coat, and reduction of the zone along the top/bond coat interface
where this stress component is tensile. As expected, the greatest differences in the shear stress
distributions predicted by the two types of analysis are observed in the heterogeneous bond coat
where the highly localized areas of positive shear stress are not well captured by the analysis based
on the homogenized bond coat microstructure.

In the absence of the oxide film, grading suppresses the evolution of the integrated effective
inelastic strain in the trough region of the top coat, Fig. 10(d), relative to the spatially uniform
bond coat microstructure, Fig. 9(d). This is also observed at the wavy interface’s crest region in
the top coat, and also within the bond coat, according to the analysis based on the homogenized
bond coat propertes, in contrast with the analysis based on the actual microstructure where little
change is seen in the top coat at the crest. Increasing the oxide film thickness increases the
integrated effective inelastic strain in the top coat’s trough region, as well as in the bond coat itself,
and decreases it above the crest of the wavy interface, according to both types of analysis. The
differences between the analyses based on the homogenized and actual bond coat microstructure
observed in the top coat region disappear with increasing oxide film thickness. Similar observations
hold in the case of the residual effective inelastic strain, Fig. 10(e), whose magnitude in the affected
regions is now much smaller as in the previously discussed cases. The primary difference between
the integrated and residual effective inelastic strain distributions lies in the bond coat, where the
differences between the two types of analysis are now more pronounced due to the lower magnitudes
of the residual effective inelastic strain.

4.5 Combined Effects of Grading and Oxide Film Thickness on Delamination
Driving Forces

Here, we focus on the normal stress σ22 and the inplane shear stress σ23 in the top coat itself in
the vicinity of the horizontal crack above the rough top/bond coat interface’s crest, Fig. 5, after
one thermal cycle (t = 630s), as well as on the two measures of the inelastic effective strain. The
influence of the normal stress on top coat delamination leading to spallation has been extensively
investigated for pure TBCs with evolving oxide film (albeit without explicitly incorporating the
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crack’s presence). The role that the inplane shear stress plays in the delamination process, on the
other hand, has not been extensively discussed. As noted previously, due to the pronounced stress
relaxation during the hold period of the thermal cycle, these stress components do not change
significantly at the end of subsequent thermal cycles for the chosen spatially uniform loading.
Therefore one thermal cycle is sufficient to delineate the trends. As also noted previously, the
horizontal crack may arise due to the relatively large normal stress σ22 that develops at the crest
of the top/bond coat interface during the cooldown portion of the thermal cycle in the absence of
an oxide film. We reiterate that during the first thermal cycle, this stress component is initially
compressive at the crest of the interface during heating, but relaxes to nearly zero during the
hold period. Hence, stress relaxation produces a sign reversal of the normal stress at the crest
location upon cooldown. The same effect changes the sign of the normal stress in the trough
region, from tensile during heating to compressive upon cooldown. During subsequent cycling, the
residual stresses decrease to nearly zero during the heating and hold portions of the thermal cycle,
assuming the same values upon cooldown as after the first cycle.

The normal and shear stress fields illustrating the differences that arise due to oxide film thick-
ness and grading have been generated in the region shown in Fig. 5. The color scale in the contour
plots that follow has been adjusted to clearly delineate the impact of these two effects on the crack-
tip stress field in the top coat itself. Since the Young’s modulus of the top coat is substantially
smaller than that of the bond coat and oxide film/particles due to the coating’s porous microstruc-
ture created by the plasma-spray deposition process, the stress field in the top coat is generally
significantly smaller in magnitude than in the bond coat and oxide film regions. In some areas of
these regions, therefore, the stress fields fall outside of the employed color scale.

Figure 11(a) presents comparison of the σ22 stress distributions in pure and graded TBCs in
the absence of an oxide film. The large stress concentration at the crack tip in the pure TBC, Fig.
11(a) top left, is substantially reduced by grading the bond coat according to the analysis based
on the graded bond coat’s homogenized properties, Fig. 11(a) top right. This would appear to
make a strong case for grading the bond coat. However, examination of the results based on the
actual (or nonhomogenized) bond coat microstructure shown in the bottom portion of Fig. 11(a)
indicates that the stress concentration reduction at the crack tip is not as substantial. Further,
grading accelerates the spread of the tensile normal stress in the trough region which has been
hypothesized to provide the driving force for horizontal crack growth during thermal cycling.

The oxide film presence reduces the crack-tip normal stress field for the pure and graded TBCs.
Relative reductions for the TBCs with 1 µm film (not shown) follow the same trends as those shown
in Fig. 11(a). That is, the analysis based on the homogenized graded bond coat microstructure
produces a greater reduction relative to the pure TBC result than the analysis based on the actual
microstructure. The results for the TBCs with 2 µm oxide film shown in Fig. 11(b) indicate that
at this film thickness the crack-driving force due to σ22 has virtually disappeared for the pure TBC.
Grading, however, now produces an increase in the normal stress concentration at the crack tip
as will be more clearly shown subsequently. The relative increases predicted by the actual and
homogenized bond coat microstructure analyses follow the same trend as in the preceding case. In
addition, grading accelerates the spread of the tensile normal stress in the trough region.

Figures 11(c) and 11(d) quantify the effects of grading and oxide film’s thickness on the normal
stress distribution in the vicinity of the crack tip along the line coincident with the crack. The
normal stress concentration reduction due to grading in the oxide film’s absence is clearly observed
in Fig. 11(c). In contrast, normal stress concentration increase in the presence of a 2 µm oxide
film is seen in Fig. 11(d). Further, the dramatic effect of oxide film thickness, which overshadows
the grading effect, is clearly observed upon comparison of Fig. 11(c) and 11(d). These results
support the hypothesis that the normal stress by itself is not sufficient to provide the necessary
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crack-driving force with increasing oxide film thickness during the initial crack extension stage.
It is possible that TBC curvature, taken into account in previous investigations, increases the
size of the tensile normal stress zone in the trough region, providing the necessary crack-driving
force. However, examination of the inplane shear stress σ23 reveals an interesting, rarely discussed
influence on the spallation mechanism as illustrated next.

Comparison of the σ23 stress distributions in pure and graded TBCs in the absence of an oxide
film is presented in Fig. 12(a). In contrast with the normal stress results, the magnitude of the
crack-tip shear stress concentration in the pure TBC, Fig. 12(a) top left, is now enhanced by grading
according to the analysis based on the homogenized graded bond coat microstructure, Fig.12(a)
top right. Further, the sign of the shear stress ahead of the crack tip is changed from positive to
negative due to grading. The analysis based on the actual graded bond coat microstructure, Fig.
12(a) bottom, also predicts shear stress sign reversal in the crack-tip region, but the extent of the
affected zone is smaller. Ahead of the crack tip, the magnitude of the shear stress is quite small,
although the stress concentration directly at the crack tip is greater relative to the pure TBC result,
as will be more clearly illustrated below.

The deleterious effect of grading on the enhancement of the shear stress field zone ahead of the
crack tip is also evident in the presence of the 2 µm oxide film. Figure 12(b) presents comparison
of the σ23 stress distributions in pure and graded TBCs in this case. The presence of the oxide
film changes the sign of the shear stress field at the crack tip in the pure TBC, Fig. 12(b) top left
(compare with Fig.12(a) top left). The size of the affected shear stress zone ahead of the crack
tip is further magnified by grading. However, as will be seen below, the shear stress concentration
directly at the crack tip is only slightly affected by grading. The analysis based on the homogenized
graded bond coat microstructure, Fig. 12(b) top right, predicts a small increase in the magnitude of
the shear stress concentration relative to the pure TBC case, while the analysis based on the actual
graded bond coat microstructure, Fig. 12(b) bottom, predicts a slight decrease. Nevertheless, the
deleterious effect of grading on the size of the shear stress field zone ahead of the crack tip is clear.

Figure 12(c) and 12(d) quantify the effects of grading and oxide film’s presence on the shear
stress distribution in the vicinity of the crack tip along the line coincident with the crack. The
shear stress concentration increase directly at the crack tip due to grading is clearly observed in Fig.
12(c) in the oxide film’s absence. The effect of grading on the crack-tip shear stress concentration
virtually disappears with increasing oxide film thickness as seen in Fig. 12(d) for the 2 µm oxide
film, in contrast with the enhancement of the shear stress-affected zone size observed in Fig. 12(b).
These results support the hypothesis that the shear stress is an important component of the crack-
driving force with increasing oxide film thickness during the initial crack extension stage. They
also indicate that the grading-induced enhancement of the shear stress zone size ahead of the crack
tip provides additional energy for crack extension.

The effects of grading and oxide film presence on the integrated inelastic strain distributions
are illustrated in Fig. 13. In the absence of the oxide film, Fig. 13(a), the analysis based on the
homogenized bond coat microstructure indicates a strain concentration reduction at the crack-tip
relative to the strain concentration in the pure bond coat TBC. This is not predicted by the analysis
based on the actual bond coat microstructure which, in fact, indicates an increase in the crack-tip
inelastic strain concentration. The presence of the oxide film tends to decrease the evolution of the
integrated inelastic strain at the crack tip, Fig. 13(b). This is predicted by both types of analysis.
The residual inelastic strain distributions presented in Fig. 14 indicate inelastic strain reversal at
the crack tip upon comparison with the results of Fig. 13. Such reversal may be important in the
context of the top coat deformation model proposed by DiMassi-Marcin et al. [3]. The crack-tip
residual strain concentration magnitude substantially decreases in the oxide film’s presence.
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5 SUMMARY OF RESULTS

The evolution of stress and strain fields in pure and heterogenous bond coat TBCs, with an oxide
film at the top coat/bond coat interface, during spatially uniform cycling thermal loading gener-
ated using the Higher-Order Theory for Functionally Graded Materials is summarized below. In
particular, the effects of oxide film thickness, and spatially uniform and graded microstructures are
discussed in this order for each stress component.

5.1 Normal stress σ22

• in a pure bond coat TBC without an oxide film, the crest and trough of the wavy interface
experience compression and tension, respectively, during initial heating; stress relaxation
during the hold period produces stress reversal upon cooldown, resulting in tension and
compression stress at the crest and trough

• in a pure bond coat TBC with an oxide film, increasing the film thickness reduces this stress
component at the top coat/oxide film interface’s crest upon cooldown until it becomes com-
pressive beyond a certain film thickness; in the trough region this stress is reversed upon
cooldown from compression to tension with increasing film thickness; further, large and gen-
erally compressive magnitudes of this stress component develop within the oxide film itself,
with maximum values occuring along the film’s inclined planes

• in a heterogeneous bond coat TBC without an oxide film and with spatially uniform mi-
crostructure in the top coat/bond coat interfacial region, increasing the alumina particle
content of the bond coat decreases this stress component at the wavy interface’s crest at the
expense of increased magnitude in the trough

• grading the heterogeneous bond coat microstructure from a high alumina content at the wavy
interface’s crest to low in the trough region makes it possible to manage stress magnitudes
at both the crest and trough locations in the absence of an oxide film; in the presence of
an oxide film increasing the film’s thickness further reduces this stress component at the top
coat/oxide film interface’s crest but accelerates its sign reversal in the trough region from
compression to tension; in addition, homogenized analysis overestimates stress reduction at
the crest due to grading

5.2 Normal stress σ33

• in a pure bond coat TBC without an oxide film, this stress component becomes tensile every-
where in the top and bond coat regions during initial heating, and compressive upon cooldown
due to stress relaxation during the hold period

• in a pure bond coat TBC with an oxide film, the film presence has a relatively small effect
on this stress component in the top coat; specifically, increasing the film thickness reduces
the magnitude of this stress at the crest on the top coat side and at the trough on the bond
coat side until it becomes tensile with sufficient thickness; away from the crest, however,
the magnitude of this compressive stress in the top coat is somewhat increased; further, very
large magnitudes of this compressive stress develop within the oxide film itself, with maximum
values occuring in the oxide film’s trough region

• in a heterogeneous bond coat TBC without an oxide film and with spatially uniform mi-
crostructure in the top coat/bond coat interfacial region, increasing the alumina particle
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content of the bond coat has a small effect on this stress component in the top coat; specifi-
cally, this stress component decreases at the wavy interface’s crest at the expense of somewhat
increased magnitude in the trough; the greatest effect occurs in the heterogeneous bond coat
itself where this stress component becomes locally tensile in the matrix phase below the crest

• grading the heterogeneous bond coat microstructure from a high alumina content at the wavy
interface to low in the trough region has a small impact on the local stress distributions, and
follows the same trend as for the spatially uniform microstructures, with increasing oxide film
thickness contributing in a cumulative manner

5.3 Shear stress σ23

• in a pure bond coat TBC without an oxide film, negative shear stress evolves in the top coat
during initial heating, changing to positive upon cooldown due to relaxation during the hold
period

• in a pure bond coat TBC with an oxide film, increasing the oxide film thickness reverses the
shear stress from positive to negative in the off-crest region and increases its magnitude and
growth into the trough region; further, large magnitudes of this stress component develop
within the oxide film itself, with maximum values occuring along the oxide film’s inclined
planes

• in a heterogeneous bond coat TBC with spatially uniform microstructure in the top coat/bond
coat interfacial region, increasing the alumina particle content of the bond coat has a similar
effect as increasing the oxide film thickness in a pure bond coat TBC

• increasing the oxide film thickness in a graded bond coat TBC has a dramatic effect on this
stress component by further increasing its magnitude at the top coat/oxide film interface’s
crest and above the trough region; in addition, homogenized analysis overestimates the extent
of this increase

5.4 Effective inelastic strains εinteff and εreseff

• in a pure bond coat TBC without an oxide film, substantial inelastic strain reversal occurs
in the top and bond coats during thermal cycling

• in a pure bond coat TBC with an oxide film, increasing the oxide film thickness suppresses
the inelastic strain growth at the top/oxide film interface’s crest and trough, while enhancing
it in the top coat’s trough region and within the bond coat below the crest

• in a heterogeneous bond coat TBC with spatially uniform microstructure in the top coat/bond
coat interfacial region, increasing the alumina particle content of the bond coat localizes the
inelastic strain at the crest and increases the inelastic strain accumulation in the trough
region; these effects are not predicted accurately by the homogenized analysis

• increasing the oxide film thickness in a graded bond coast TBC reduces the inelastic strain
accumulation at the crest at the expense of increasing it in the trough

The above results for the pure bond coat TBCs without an axide film are consistent with
previous numerical studies reported in the literature. Similarly, the obtained results in the presence
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of an oxide film at the top/bond coat interface are also consistent with the numerical results reported
in the literature, however the focus in previous studies has been primarily on the normal stress
component σ22 in view of the hypothesized failure mode. The results of this investigation, on the
other hand, point to the important role of the shear stress component σ23 with increasing oxide
film thickness thus far not extensively discussed.

The results obtained for TBCs with spatially uniform bond coat microstructures, also thus far
not investigated, indicate that some management of the normal stress component σ22 is possible
at the wavy interface’s crest, albeit at the expense of increased stress magnitudes in the trough
location. A potential way of managing the normal stress fields at both locations is by grading
the alumina inclusion content from a high concentration at the crest to a low concentration at the
trough. However, the use of both spatially uniform and graded bond coat microstructures enhances
the magnitude of the shear stress component in the off-crest location. These results suggest that the
combined effect of grading the bond coat and the presence of oxide film, while initially suppressing
the σ22 component of the delamination driving stress field, will enhance the σ23 component of this
field. This is indeed the case as demonstrated herein in the presence of a horizontal crack above
the wavy interface’s crest. Specifically, grading the bond coat:

• initially decreases the crack-tip stress concentration due to σ22 upon cooldown, however this
effect is overshadowed by increasing oxide film thickness which reduces the crack-tip stress
concentration to a substantially greater extent; at sufficiently large oxide film thickness grad-
ing actually enhances the crack-tip stress concentration somewhat

• increases the crack-tip stress concentration due to σ23 upon cooldown, which is further in-
creased by increasing oxide film thickness

6 DISCUSSION

The mechanism for top coat delamination leading to spallation in pure plasma-sprayed TBCs
proposed by a number of researchers [7-10] is primarily based on the stress component normal to
the rough top/bond coat interface, which is modified in the trough region by the growth of an
oxide film and stress relaxation effects, thereby providing the necessary driving force for horizontal
delamination growth. This model is based on finite-element analyses of TBCs on curved substrates
(without explicitly accounting for the presence of a local delamination), and is consistent with
experimentally observed coating failure by spallation. Alternatively, our analysis of TBCs on flat
substrates with no overall curvature indicates that in the presence of a horizontal delamination
just above the crest of a rough top/bond coat interface, the crack-tip normal stress field actually
decreases with increasing oxide film thickness, thereby decreasing the crack-driving force. Increasing
oxide film thickness does change the sign of the normal stress from compression to tension in the
trough region, however the extent of the tensile zone is not sufficient to provide the necessary crack-
extension force for the investigated crack length and oxide film thicknesses. In contrast, the shear
stress field at the crack tip increases with increasing oxide film thickness in the range considered. It
is hypothesized, therefore, that this stress component provides the necessary driving force for crack
extension during at least the initial delamination growth when the oxide film thickness is relatively
small. Models for delamination growth based on mixed-mode fracture mechanics may, therefore, be
more appropriate than just Mode I considerations. However, such models must take into account
the inelastic behavior of the porous ceramic top coat characterized by the presence of dispersed
microcracks. These microcracks appear to provide the mechanism by which inelastic effects occur
due to sliding of the microcrack interfaces. The substantial inelastic strain accumulation and
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reversal observed in our results would provide the mechanism by which a crack may grow in the
presence of increasing shear stress field with increasing oxide film thickness. We note, in support
of the shear stress contribution to the spallation mechanism, that experimental evidence exists
which suggests that delamination growth in the top coat is not self-similar, i.e. it is not exclusively
governed by Mode I consideration, but proceeds along a path characterized by deflections which
conform to the overall shape of the rough interface [23].

The analysis of the use of heterogeneous bond coat microstructures indicates that, while grading
the bond coat initially decreases the normal stress field at the crack tip, this reduction is overes-
timated by the analysis based on homogenized bond coat microstructure relative to the analysis
based on the actual microstructure. The effect of grading on the crack-tip normal stress field
becomes less important with increasing oxide film thickness (at least up to 2 µm). In addition,
grading promotes the growth of the tensile normal stress zone in the rough interface’s trough region,
and has a similar effect, but a smaller impact, as increasing oxide film thickness in pure TBCs.
Perhaps more significantly, grading increases the shear stress field at the crack tip, which is further
magnified by the presence of the oxide film. This magnification is overestimated by the analysis
based on homogenized bond coat microstructure relative to the actual microstructure. However,
the differences become smaller with increasing film thickness. Therefore, under conditions of a spa-
tially uniform temperature field which simulates furnace heating durability test, grading is likely
to accelerate delamination growth based on our hypothesis regarding the importance of the shear
stress component. The assessment of the desirability of grading the bond coat under conditions of
gradient heating remains to be addressed, however.

It is important to note that the differences predicted by the homogenized and non-homogenized
higher-order theory analyses occur in the top coat which has been modeled as homogeneous. The
two approches are expected to produce different results in the graded region, as readily observed
in the preceding contour plots. The differences observed within the homogeneous top coat point
to the micro-macrostructural interaction which is not explicitly taken into account in the analysis
based on the homogenized bond coat microstructure.

We end this section by pointing out that in addition to the top/bond coat interface rough-
ness, thermoinelastic parameter mismatch (i.e., thermal expansion, moduli and creep parameter
mismatch), and oxide film thickness, additional factors that may affect the spallation mechanism
and ultimate failure modes of plasma-sprayed TBCs must be considered. These include top coat
porosity [24]; sintering of the top coat during exposure to high temperatures [25], which affects the
thermomechanical coating properties [26]; phase transitions occuring in the top and bond coat as
well as in the thermally-grown oxide film [27], leading to potential local degradation in the presence
of large stresses that develop within the film itself [28]. The effect of the TBC constituent chemical
composition on the oxide film adhesion is also an important consideration [29]. Further, the mag-
nitude of the applied thermal gradient and the coating surface temperature, not considered herein,
has been demonstrated to have a direct influence on the TBC’s durability [30,31]. For example,
localized cracks in the top coat’s trough region are often present which do not always propagate
due to the geometric constraint [23], but may interact with the main crack. Localized damage in
the alumina film has also been observed which is consistent with the very high residual stresses
induced during the thermal cooldown predicted by our analysis [32]. The above observations make
it difficult to conclude with a good measure of confidence that the ultimate spallation of the top
coat is exclusively governed by a critical thickness of the thermally grown oxide film, as pointed
out by some investigators [33]. In view of the complex state of stress induced by the oxide film, it
is very likely that the critical spallation event depends on the particular material system in which
a particular failure event becomes dominant.
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7 CONCLUSIONS

The results generated using the Higher-Order Theory for Functionally Graded Materials indicate
that, under spatially-uniform cyclic heating, the use of heterogeneous, two-phase bond coats to re-
duce the top/bond coat thermal expansion mismatch in plasma-sprayed TBCs is likely to accelerate
the growth of horizontal cracks in the top coat at, or just above, the rough interface’s crests. These
cracks are thought to be initiated by the relatively large normal stress at the crests of the rough
top/bond coat interface which becomes tensile upon cooldown due to stress relaxation at elevated
temperatures. According to a proposed model, the growth of these cracks, which is driven by the
change in the sign of the normal through-thickness stress in the trough region of the top/bond
coat interface caused by an evolving interfacial oxide film, ultimately leads to top coat spallation.
Our analysis predicts that the use of heterogeneous bond coats, while initially reducing the normal
stress field at the tip of a horizontal crack above the rough interface’s crest, increases the thus-far
neglected shear stress field at the crack tip, thereby providing the necessary force for mixed-mode
crack growth. This is further amplified by the oxide film. Heterogeneous bond coats also accelerate
the evolution of the tensile normal stress in the rough interface’s trough region, thereby potentially
providing additional energy for crack extension with sufficient oxide film thickness. The overall
effect of bond coat heterogeneity is similar to that of the oxide film in pure bond coat TBCs,
albeit not as dramatic. Our results also suggest that the actual mechanism of crack growth will
likely involve inelastic deformation of the top coat which experiences inelastic strain reversal during
thermal cycling, potentially facilitating crack growth and microcrack coalescence.

In addition, the results indicate that micro-macrostructural coupling which explicitly accounts
for particle-particle and particle-interface interactions, and which is an intrinsic feature of the
higher-order theory, is important in the analysis of plasma-sprayed TBCs with graded bond coat
microstructures. In particular, the extent of the crack-tip normal stress field reduction was overesti-
mated by the analysis based on the homogenized properties of the graded bond coat microstructure
relative to the actual microstructure. The extent of the shear stress magnification was also overes-
timated by the analysis based on the homogenized properties. The micro-macrostructural coupling
effects propagate sufficiently far into the top coat, modeled here as homogeneous, to affect the
crack-tip stress fields in the immediate vicinity of the top/graded bond coat interface. These
results suggest that the porous microstructure of plasma-sprayed coatings, characterized by micro-
cracks and splats of specific size, should be explicitly taken into account in order to gain a better
understanding of the horizontal delamination growth.
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Table 1. Two competing thermal barrier coatings for gas turbine applications.

Characteristics Plasma-Sprayed TBCs EB PVD TBCs

TC microstructure pancake-like: splats, porosities columnar
Conductivity low: 0.8-1.0 W/mK higher: 1.6-1.8 W/mk
Elastic moduli anisotropic: out-of-plane compliant anisotropic: in-plane compliant
TC/BC interface rough smoother
TC/BC bond weak stronger
Spallation location at or above TC/TGO film interface at BC/TGO film interface

within TGO film (?)

Table 2. Thermoelastic and creep material parameters of the zirconia top coat (after Petrus and
Ferguson [5]).

Temperature E (GPa) ν α (10−6/◦C) A (MPa−n/s) n

1200◦C 25.4 0.33 12.5 1.85×10−7 3.0
1100◦C 25.4 0.33 12.1 7.40×10−8 3.0
1000◦C 25.4 0.33 11.8 2.57×10−8 3.0
900◦C 25.4 0.33 11.4 7.42×10−9 2.0
800◦C 25.4 0.33 11.0 1.70×10−9 2.0
700◦C 25.4 0.33 10.6 2.89×10−10 1.0
500◦C 25.4 0.33 9.8 2.10×10−12 1.0
10◦C 25.4 0.33 7.6 2.01×10−30 1.0

Table 3. Thermoelastic and creep material parameters of the NiCrAlY bond coat (after Petrus and
Ferguson [5]).

Temperature E (GPa) ν α (10−6/◦C) A (MPa−n/s) n

1200◦C 156.0 0.27 14.4 7.40×10−6 3.0
1100◦C 156.0 0.27 14.2 1.17×10−6 3.0
1000◦C 156.0 0.27 14.0 1.37×10−7 3.0
900◦C 156.0 0.27 13.8 1.14×10−8 2.0
800◦C 156.0 0.27 13.6 5.90×10−10 2.0
700◦C 156.0 0.27 13.4 1.66×10−11 1.0
500◦C 156.0 0.27 13.0 8.20×10−16 1.0
10◦C 156.0 0.27 12.0 4.39×10−40 1.0
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Table 4. Thermoelastic and creep material parameters of the Ni substrate (after Petrus and Fer-
guson [5]).

Temperature E (GPa) ν α (10−6/◦C) A (MPa−n/s) n

1200◦C 156.0 0.27 19.3 2.25×10−9 3.0
1100◦C 156.0 0.27 18.8 4.36×10−10 3.0
1000◦C 156.0 0.27 17.8 3.08×10−10 3.0
900◦C 156.0 0.27 16.9 1.79×10−10 2.0
800◦C 156.0 0.27 15.9 5.13×10−11 2.0
700◦C 156.0 0.27 15.2 2.28×10−29 1.0
500◦C 156.0 0.27 14.4 1.00×10−34 1.0
10◦C 156.0 0.27 12.0 4.85×10−36 1.0

Table 5. Thermoelastic material parameters of the Al3O2 film/particles.

Temperature E (GPa) ν α (10−6/◦C) A (MPa−n/s) n

1200◦C → 0◦C 380.0 0.26 8.6 − −

Table 6. Homogenized Young’s moduli of the heterogeneous bond coat as a function of the alumina
inclusion volume content and temperature.

E (GPa)
Temperature vf = 0.10 vf = 0.20 vf = 0.30 vf = 0.40 vf = 0.50

1200◦C → 10◦C 169.9 187.1 206.7 228.5 252.2

Table 7. Homogenized Poisson’s ratios of the heterogeneous bond coat as a function of the alumina
inclusion volume content and temperature.

ν

Temperature vf = 0.10 vf = 0.20 vf = 0.30 vf = 0.40 vf = 0.50

1200◦C → 10◦C 0.266 0.262 0.258 0.254 0.251
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Table 8. Homogenized thermal expansion coefficients of the heterogeneous bond coat as a function
of the alumina inclusion volume content and temperature.

α (10−6/◦C)
Temperature vf = 0.10 vf = 0.20 vf = 0.30 vf = 0.40 vf = 0.50

1200◦C 13.67 12.92 12.19 11.49 10.82
1100◦C 13.49 12.77 12.06 11.38 10.73
1000◦C 13.32 12.61 11.93 11.27 10.64
900◦C 13.14 12.46 11.80 11.16 10.55
800◦C 12.96 12.31 11.67 11.05 10.47
700◦C 12.78 12.15 11.54 10.94 10.38
500◦C 12.43 11.85 11.27 10.73 10.20
10◦C 11.54 11.08 10.62 10.18 9.76

Table 9. Homogenized power-law creep exponents of the heterogeneous bond coat as a function of
the alumina inclusion volume content and temperature.

n

Temperature vf = 0.10 vf = 0.20 vf = 0.30 vf = 0.40 vf = 0.50

1200◦C → 1000◦C 3.0 3.0 3.0 3.0 3.0
900◦C 2.0 2.0 2.0 2.0 2.0
800◦C 1.97 1.95 1.88 1.82 1.86
700◦C → 10◦C 1.0 1.0 1.0 1.0 1.0

Table 10. Homogenized power-law creep coefficients of the heterogeneous bond coat as a function
of the alumina inclusion volume content and temperature.

A (MPa−n/s)
Temperature vf = 0.10 vf = 0.20 vf = 0.30 vf = 0.40 vf = 0.50

1200◦C 5.11×10−6 3.24×10−6 1.87×10−6 5.02×10−7 2.94×10−7
1100◦C 8.09×10−7 5.13×10−7 2.96×10−7 7.92×10−8 4.65×10−8
1000◦C 9.61×10−8 6.10×10−8 3.52×10−8 9.45×10−9 5.55×10−9
900◦C 8.20×10−9 5.59×10−9 3.45×10−9 1.30×10−9 7.99×10−10
800◦C 5.05×10−10 4.35×10−10 3.76×10−10 3.17×10−10 1.77×10−10
700◦C 1.36×10−11 1.11×10−11 8.78×10−12 6.46×10−12 4.88×10−12
500◦C 6.70×10−16 5.48×10−16 4.34×10−16 3.19×10−16 2.41×10−16
10◦C 3.59×10−40 2.94×10−40 2.33×10−40 1.71×10−40 1.29×10−40
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Figure 1. A geometric model of a material functionally graded material in the x2 − x3 plane with
periodicity in the x1 direction, illustrating the volume discretization employed in the higher-order

theory.

(a) Bond coat with spatially uniform heterogeneous microstructure in the interfacial region.

Figure 2. A TBC system with a sinusoidally-varying top coat/bond coat interface and a heteroge-
neous bond coat in the interfacial region.
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(b) Bond coat with functionally graded heterogenous microstructure in the interfacial region.

Figure 2, cont’d. A TBC system with a sinusoidally-varying top coat/bond coat interface and a
heterogeneous bond coat in the interfacial region.

Figure 3. Thermal loading history.
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

20% alumina content BC (left), 40% alumina content BC (right)

Figure 4(a). Volume discretization of the sinusoidally-varying interface region: pure TBCs with
different oxide film thicknesses (top) and TBCs with spatially uniform dispersions of alumina in-
clusions within the bond coat in the interfacial region (bottom).
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Graded, unhomogenized BCs with 0 (left), 1 (middle), and 2 (right) micron oxide film

Graded, homogenized BCs with 0 (left), 1 (middle), and 2 (right) micron oxide film

Figure 4(b). Volume discretization of the sinusoidally-varying interface region: TBCs with ac-
tual (top) and homogenized (bottom) graded bond coat microstructures and different oxide film
thicknesses.
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Figure 5. Volume discretization of the sinusoidally-varying interface region in a pure TBC with a
horizontal delamination above the interface’s crest: pure TBC (left) and a magnified region (right)
showing refined mesh around the horizontal crack in the top coat above the crest of the top/bond
coat interface.

Figure 6. Thermal expansion coefficient vs temperature of pure zirconia, and pure and heteroge-
neous NiCr-based bond coat material with different alumina particle content.
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Time = 30 (left), 360 (middle), 630 (right) seconds

Time = 1290 (left), 1620 (middle), 1890 (right) seconds

Figure 7(a). Evolution of σ22 stress distributions with time in the interfacial region of a pure TBC
without an oxide film during the first (top) and third (bottom) thermal cycle (colorbar scale in
MPa).
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Time = 30 (left), 360 (middle), 630 (right) seconds

Time = 1290 (left), 1620 (middle), 1890 (right) seconds

Figure 7(b). Evolution of σ33 stress distributions with time in the interfacial region of a pure TBC
without an oxide film during the first (top) and third (bottom) thermal cycle: (colorbar scale in
MPa).
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Time = 30 (left), 360 (middle), 630 (right) seconds

Time = 1290 (left), 1620 (middle), 1890 (right) seconds

Figure 7(c). Evolution of σ23 stress distributions with time in the interfacial region of a pure TBC
without an oxide film during the first (top) and third (bottom) thermal cycle: (colorbar scale in
MPa).
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Time = 30 (left), 360 (middle), 630 (right) seconds

Time = 1290 (left), 1620 (middle), 1890 (right) seconds

Figure 7(d). Evolution of εinteff inelastic strain distributions with time in the interfacial region of a
pure TBC without an oxide film during the first (top) and third (bottom) thermal cycle (colorbar
scale in % strain).
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Time = 30 (left), 360 (middle), 630 (right) seconds

Time = 1290 (left), 1620 (middle), 1890 (right) seconds

Figure 7(e). Evolution of εreseff inelastic strain distributions with time in the interfacial region of a
pure TBC without an oxide film during the first (top) and third (bottom) thermal cycle (colorbar
scale in % strain).
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Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Figure 8(a). Normal stress σ22 distributions in the interfacial region of a pure TBC at the end of
the third thermal cycle, illustrating the oxide film thickness influence (colorbar scale in MPa).
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Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Figure 8(b). Normal stress σ33 distributions in the interfacial region of a pure TBC at the end of
the third thermal cycle, illustrating the oxide film thickness influence (colorbar scale in MPa).
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Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Figure 8(c). Shear stress σ23 distributions in the interfacial region of a pure TBC at the end of the
third thermal cycle, illustrating the oxide film thickness influence (colorbar scale in MPa).
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Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Figure 8(d). Inelastic strain εinteff distributions in the interfacial region of a pure TBC at the end of
the third thermal cycle, illustrating the oxide film thickness influence (colorbar scale in % strain).

Oxide film thickness = 1 (left), 2 (middle), 3 (right) microns

Figure 8(e). Inelastic strain εreseff distributions in the interfacial region of a pure TBC at the end of
the third thermal cycle, illustrating the oxide film thickness influence (colorbar scale in % strain).
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Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Figure 9(a). Normal stress σ22 distributions in the interfacial region of a spatially uniform het-
erogeneous bond coat TBC without an oxide film, with homogenized (top) and actual (bottom)
microstructures, at the end of the first thermal cycle illustrating the alumina particle content in-
fluence (colorbar scale in MPa).
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Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Figure 9(b). Normal stress σ33 distributions in the interfacial region of a spatially uniform het-
erogeneous bond coat TBC without an oxide film, with homogenized (top) and actual (bottom)
microstructures, at the end of the first thermal cycle illustrating the alumina particle content in-
fluence (colorbar scale in MPa).
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Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Figure 9(c). Shear stress σ23 distributions in the interfacial region of a spatially uniform het-
erogeneous bond coat TBC without an oxide film, with homogenized (top) and actual (bottom)
microstructures, at the end of the first thermal cycle illustrating the alumina particle content in-
fluence (colorbar scale in MPa).
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Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Figure 9(d). Inelastic strain εinteff distributions in the interfacial region of a spatially uniform
heterogeneous bond coat TBC without an oxide film, with homogenized (top) and actual (bottom)
microstructures, at the end of the first thermal cycle illustrating the alumina particle content
influence (colorbar scale in % strain).
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Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Homogeneous BC (left), 20% alumina BC (middle), 40% alumina BC (right)

Figure 9(e). Inelastic strain εreseff distributions in the interfacial region of a spatially uniform het-
erogeneous bond coat TBC without an oxide film, with homogenized (top) and actual (bottom)
microstructures, at the end of the first thermal cycle illustrating the alumina particle content in-
fluence (colorbar scale in % strain).
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

Figure 10(a). Normal stress σ22 distributions in the interfacial region of a graded bond coat TBC,
with homogenized (top) and actual (bottom) microstructures, at the end of the first thermal cycle
illustrating the oxide film thickness influence (colorbar scale in MPa).
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

Figure 10(b). Normal stress σ33 distributions in the interfacial region of a graded bond coat TBC,
with homogenized (top) and actual (bottom) microstructures, at the end of the first thermal cycle
illustrating the oxide film thickness influence (colorbar scale in MPa).
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

Figure 10(c). Shear stress σ23 distributions in the interfacial region of a graded bond coat TBC,
with homogenized (top) and actual (bottom) microstructures, at the end of the first thermal cycle
illustrating the oxide film thickness influence (colorbar scale in MPa).
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

Figure 10(d). Inelastic strain εinteff distributions in the interfacial region of a graded bond coat TBC,
with homogenized (top) and actual (bottom) microstructures, at the end of the first thermal cycle
illustrating the oxide film thickness influence (colorbar scale in % strain).
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No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

No oxide film (left), 1 micron oxide film (middle), 2 micron oxide film (right)

Figure 10(e). Inelastic strain εreseff distributions in the interfacial region of a graded bond coat TBC,
with homogenized (top) and actual (bottom) microstructures, at the end of the first thermal cycle
illustrating the oxide film thickness influence (colorbar scale in % strain).
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 11(a). Normal stress σ22 distributions in the interfacial region of pure and graded bond coat
TBCs without an oxide film at the end of the first cycle illustrating the effect of grading on the
delamination driving forces (colorbar scale in MPa).

NASA/TM—2003-210803 53



Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 11(b). Normal stress σ22 distributions in the interfacial region of pure and graded bond coat
TBCs with a 2 µm oxide film at the end of the first cycle, illustrating the effect of grading on the
delamination driving forces (colorbar scale in MPa).
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Figure 11(c). Crack-tip σ22 distributions along the line coincident with the crack in pure and
graded TBCs without an oxide film at the end of the first cycle, illustrating the effect of grading
on the delamination driving forces.

Figure 11(d). Crack-tip σ22 distributions along the line coincident with the crack in pure and
graded TBCs with a 2 µm oxide film at the end of the first cycle, illustrating the effect of grading
on the delamination driving forces.
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 12(a). Shear stress σ23 distributions in the interfacial region of pure and graded bond coat
TBCs without an oxide film at the end of the first cycle, illustrating the effect of grading on the
delamination driving forces (colorbar scale in MPa).
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 12(b). Shear stress σ23 distributions in the interfacial region of pure and graded bond coat
TBCs with a 2 µm oxide film at the end of the first cycle, illustrating the effect of grading on the
delamination driving forces (colorbar scale in MPa).
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Figure 12(c). Crack-tip σ23 distributions along the line coincident with the crack in pure and
graded TBCs without an oxide film at the end of the first cycle, illustrating the effect of grading
on the delamination driving forces.

Figure 12(d). Crack-tip σ23 distributions along the line coincident with the crack in pure and
graded TBCs with a 2 µm oxide film at the end of the first cycle, illustrating the effect of grading
on the delamination driving forces.
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 13(a). Inelastic strain εinteff distributions in the interfacial region of pure and graded bond
coat TBCs without an oxide film at the end of the first cycle illustrating the effect of grading on
the crack-tip inelastic strain field (colorbar scale in % strain).
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 13(b). Inelastic strain εinteff distributions in the interfacial region of pure and graded bond
coat TBCs with a 2 µm oxide film at the end of the first cycle, illustrating the effect of grading on
the crack-tip inelastic strain field (colorbar scale in % strain).
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 14(a). Inelastic strain εreseff distributions in the interfacial region of pure and graded bond
coat TBCs without an oxide film at the end of the first cycle, illustrating the effect of grading on
the crack-tip inelastic strain field (colorbar scale in % strain).
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Pure bond coat TBC (top left), homogenized graded bond coat TBC (top right), actual graded
bond coat TBC (bottom)

Figure 14(b). Inelastic strain εreseff distributions in the interfacial region of pure and graded bond
coat TBCs with a 2 µm oxide film at the end of the first cycle illustrating the effect of grading on
the crack-tip inelastic strain field (colorbar scale in % strain).
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This report summarizes the results of a numerical investigation into the spallation  mechanism in plasma-sprayed thermal
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